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A dedicated framework for thermo-mechanical analysis of the in-pile performance of SiC/SiC composite
fuel cladding concepts in LWRs has been developed. This analysis framework focuses on cladding and
omits any fuel-cladding interaction and fuel behavior. Since radial expansion of the cladding occurs early
in life for these ceramic structures, fuel-cladding contact is expected to be delayed or eliminated and
therefore it is not considered in this analysis. The analysis inputs recent out-of-pile and in-pile materials
property data and phenomenological understanding of material evolution under neutron irradiation for
nuclear-grade SiC/SiC composites to provide a best-estimate analysis. The analysis provides insight into
the concept design and feasibility of SiC/SiC composite cladding concepts that exhibit significantly differ-
ent behavior than metallic cladding structures. In particular, absence of any tangible creep (thermal or
irradiation) coupled with a large and temperature-gradient-driven irradiation swelling strain gradient
across the cladding, drive development of large stresses across the cladding thickness. The resulting anal-
ysis indicates that significant stresses develop after a modest neutron dose (~1 dpa) and a pronounced
variation across the cladding thickness exists and is opposite to that observed for metallic cladding struc-
tures where swelling or growth strains are either negligible (with small temperature dependence) or
absent. Following this thermo-mechanical analysis, a best-estimate and parametric examination of SiC/
SiC fuel rod cladding structures has been performed using appropriate Weibull statistics to prescribe

basic design guidelines and to begin to define a probable design space.

© 2014 Elsevier B.V. All rights reserved.

1. Introduction

Application of silicon carbide (SiC) in nuclear systems dates
back to the 1960s as nuclear fuel constituents for high-tempera-
ture gas reactors [1,2]. Since that time, SiC materials have been
examined extensively as fuel and structural materials in fission
and fusion systems [3,4], though up to this point have still not
found application outside the original nuclear fuel form. While
structural applications of SiC have been discussed since the early
days of fusion reactors [5], serious discussion and development
were not considered until well after the invention of the continu-
ous SiC-based Nicalon fiber [6]. This continuous fiber, the so-called
Nicalon™ SiC fiber, could be fabricated in tow form and textile
woven, allowing composites of chemically vapor infiltrated (CVI)
SiC to be formed. Through the late 1980s and 1990s the aerospace,
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fossil energy, and fusion communities pursued development
programs producing and testing myriad composites for thermo-
structural applications [7].

In many ways the development paths in the non-nuclear and
nuclear (fusion) programs over the early decades of SiC composite
development shared similar goals. Early studies recognized the
merits of continuous-fiber over whisker or platelet composite
forms to maximize toughness, and the critical need for and optimi-
zation of the fiber/matrix interphase were studied in detail. For
both high-temperature and irradiation performance, the ceramic-
grade Nicalon™ fibers were found to be unstable, due to the pres-
ence of a large siliconoxycarbide phase (>20%). This led to the
development of fibers of successively higher purity and crystallin-
ity such as the current Nicalon Type-S and the Tyranno SA. Issues
related to the poor performance of non-stoichiometric fibers and
forms of SiC and the importance of the fiber matrix interface can
be found elsewhere [8]. For purposes of this discussion [for the
temperatures, doses, and assumed application stress conditions
of a light water reactor (LWR) fuel clad application], it is sufficient
to state that currently only two matrix and two fiber systems are
known to be stable: CVI SiC and nano-powder SiC based (so-called
NITE) matrices and Nicalon Type-S and Tyranno SA fibers.

Outside the nuclear community, SiC/SiC composites have
gained commercial traction for niche applications, especially for
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Nomenclature

thermal conductivity (W/m K)
thermal resistivity (m K/W)

mass density (kg/m?)

coefficient of thermal expansion (K~1)
specific heat capacity (J/kg K)
temperature (K)

heat flux (W/m?)

swelling

heat transfer coefficient (W/m? K)
coolant temperature (K)

interior radius

—~N S \nha ‘*]QSE’D o~ =

=
Y

Te exterior radius

e creep strain rate (s~ !)
L clad length

D dose (dpa)

dt time increment (s)
AT spatial increment (m)

P, exterior pressure (Pa)

P; interior pressure (Pa)

E Young’s modulus (1D model) (Pa)

\J Poisson’s ratio (1D model) (Pa)

0:.09,07 radial, azimuthal and axial stress (1D model) (Pa)

&89, & radial, azimuthal and axial strain (1D model)

E, E, in-plane and through-thickness Young’s modulus
(2D model) (Pa)

Vp, Vr in plane and through thickness Poisson’s ratio (2D
model)

G through thickness shear modulus (Pa)

O 099,07, 0, Tadial, azimuthal, axial, and shear stress (2D
model) (Pa)

&rr.€00, €22, & Tadial, azimuthal, axial, and shear strain (2D model)

high-temperature hostile environments. Examples include com-
bustor liners and first-stage shrouds of industrial gas turbines as
well as engine components in GE military and commercial aircraft
engines [9]. To date there have been no adoptions or prototype
applications of SiC in commercial or test reactors, though they have
been in the design phase for specialty load-carrying components in
high-temperature gas-cooled reactors, and now boiling water reac-
tor (BWR) fuel assembly channelboxes are being mocked up and
tested [10,11].

Since the Three Mile Island accident, another LWR application
of SiC has been discussed and developed through a number of
privately and government funded avenues. Specifically, a continu-
ous-fiber composite, over-coated with thick chemically vapor
deposited (CVD) SiC, is under consideration for Zr alloy cladding
replacement [12-14]. While some of the benefits will be touched
on in this paper, and have been outlined previously, the irradiation
behavior of the underlying composite constituents are now well
understood [4,8]. However, up to this point reporting on basic ther-
mo-mechanical analyses that would underpin the concept and
potentially the design of the component architecture has been
sparse. Carpenter [15] initially examined the behavior of a PWR
pin with a three-layer SiC cladding (monolith-composite-
monolith) by modifying the FRAPCON fuel performance code [16]
with SiC material property data. While some important observa-
tions were made during his analysis (i.e. radial expansion of the
cladding and development of a large temperature gradient across
the cladding early on in fuel lifetime), assumption of a constant
swelling strain across the cladding thickness (essentially ignoring
the temperature dependence of the swelling) led to miscalculation
of the magnitude and shape of the principal stresses across the
cladding. Another analysis sponsored by the Electric Power Re-
search Institute (EPRI) and carried out with the FALCON fuel per-
formance code [17], inputting similar material property data as
the previous study, concluded that pellet-cladding contact occurs
at high fuel burnups (~60-70 MWd/kg U) and can readily lead to
failure of the cladding [18].

In this paper one-dimensional (1D) finite-difference and two-
dimensional (2D) finite-element methodologies have been used
to assess heat transfer and the mechanical response of SiC/SiC
composite fuel cladding structures subjected to nominal LWR
operating conditions. The analysis was focused on the cladding
and no attempt was made to capture the behavior and evolution
of the fuel pellet. The fuel or gap properties do not affect the heat
flux flowing into the cladding and the value of this parameter can

be fully captured by the rod operating power. In conventional fuel
rods, the pellet experiences cracking shortly after reactor startup.
Accordingly it relocates to become partially in contact with the
cladding. However, this mode of contact does not exert any force
on the cladding. Only after the magnitude of cladding creepdown
and pellet swelling strains add up to the gap thickness a hard con-
tact between the two resulting in force exertion on the cladding
can be assumed. As it will be discussed later in the text, cladding
creep down is absent in case of SiC cladding and instead radial
expansion due to volumetric swelling expands the pellet-cladding
gap. Accordingly, hard contact between the pellet and cladding
inner wall can be neglected as discussed in Section 4.1. Also, a
linear fission gas release rate from the fuel with respect to time
is assumed that is very simplistic yet purposeful as discussed in
Section 2.1.6. Unirradiated and dose-dependent material proper-
ties input to the models are from the latest and most pertinent
experimental data available from high purity SiC fiber/CVI matrix
composites [4,8]. The methodologies are described in detail in
the text and the accompanying appendix to provide complete
clarity and results from the 1D and 2D analyses are presented for
multiple cases with a systematic parametric approach for the
benefit of the reader. Finally, a discussion is offered that provides
a context for the results and the implications for fuel operation.

2. Methodology
2.1. Material properties

To produce an accurate prediction of the thermo-mechanical
behavior of SiC/SiC cladding structures under reactor operating
conditions, an accurate set of unirradiated and dose-dependent
material property data are necessary. In this section various mate-
rial properties that are input to the analytical model are discussed.

2.1.1. Swelling

For discussion purposes, the primary fast-neutron irradiation-
induced phenomenon to consider is swelling. This is the case since
swelling is a measure of the extent of irradiation-induced defects
that are present in the material. These same defects, or others with
a proportional population, are considered responsible for the
evolution of the various material properties, such as thermal con-
ductivity, under irradiation [4]. Accordingly swelling provides a
good basis for discussion of dose-dependent properties in the later
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sections. Given the basic assumption that macroscopic swelling,
isotropic in nature in the absence of any deviatoric stress compo-
nents, originates primarily from the buildup of Frenkel defects in
the lattice in the temperature range of present interest, it is viable
to proceed with a prediction of its magnitude as a function of tem-
perature and dose using basic rate theory equations. This is indeed
the approach demonstrated by Katoh et al. [8,19] to reproduce the
experimental neutron and ion irradiation data in intermediate
temperatures. Briefly, the approach considers vacancies immobile,
and therefore the rate of vacancy population evolution is dictated
by production proportional to dose rate and annihilation via
recombination with migrating self-interstitial atoms (SIAs). There-
fore, given an SIA population at any time, the vacancy concentra-
tion is readily determined. The SIAs are produced at the same
rate as the vacancies; however, their annihilation in addition to
bulk recombination takes place via diffusion to sinks. As supported
by microscopic examinations, the dominant sinks in SiC under
intermediate-temperature irradiations are SIA clusters/loops
[4,20,21]. Taking into account the dose- and temperature-depen-
dent size and population of these loops, the SIA and vacancy
concentrations can be predicted at any given time. These mecha-
nisms dictate a 2/3 dependence of vacancy concentration and
thereby swelling on dose until a saturation is approached. As the
loop density and size increase and the vacancy population builds
up, the system reaches an equilibrium where the recombination
rate equals that of production. This marks the onset of swelling
saturation and is essentially the manifestation of the “irradiation
induced irradiation resistance” mechanism dubbed previously by
Katoh.

Once these basic principles are established, swelling can be
accurately interpolated as a function of dose and temperature be-
tween the available neutron and ion irradiation data. Accordingly,
the spatial dependence of swelling across the cladding thickness
can be modeled. The logarithmic swelling may be expressed as a
linear function of the temperature summed with a linear function
of the logarithm of the dose. Consequently, the formula used for 2D
interpolation of the available experimental data points is the
following:

In(S,) = a; + b1 T, + ¢1In(D), (1)
where a;,b; and c¢; are numerical fits to the available experimental

data, D is the dose, and n is the index of the spatial element since
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Fig. 1. Contour map of predicted swelling as a function of temperature and dose
along with some experimental data points (circles) replotted from [4,22].

temperature varies across the cladding height and thickness. The
numerical fits are not global values and are evaluated by fitting
the three sets of experimental data closest to the dose and temper-
ature space of interest with Eq. (1). This approach enables account-
ing for saturation in swelling at high doses. Fig. 1 shows some of the
experimental data points along with the extrapolated contour map
of swelling as a function of temperature and dose.

2.1.2. Thermal conductivity

A large body of work is available on the effects of irradiation on
thermal conductivity of ceramics [23,24,4]. Ignoring electronic
thermal transport at high temperatures, the thermal conductivity
of ceramics can be simply estimated as the inverse of the sum of
thermal resistivities as follows:

1
E:Rm + Rgy + Ry + Rig, (2)

where R stands for thermal resistivity and subscripts m, gb, U, and id
designate matrix, grain boundary, Umklapp (phonon-phonon), and
irradiation defect, respectively. Note that the matrix resistivity term
takes into account the effect of defects present in the lattice in the
unirradiated state. The temperature-dependent magnitude of the
first three terms in Eq. (2) can be determined exactly by measuring
the thermal conductivity of unirradiated material. In this study, the
temperature-dependent magnitude of these terms is directly taken
from experimental data for the SA3-PyC150A SiC/SiC composite re-
ported in Ref. [8]. The magnitude of resistance due to irradiation de-
fects depends on the type and density of defects in the lattice that
form as a result of irradiation. As one can recall in the previous sec-
tion, swelling was noted to be a fairly accurate measure of the con-
centration of irradiation-induced defects in SiC. Therefore all that is
necessary for prediction of irradiation-induced defect resistivity is a
proportionality factor between this term and the swelling. These
proportionality factors have been measured following irradiation
for both monolithic SiC and SiC/SiC composites and are reported
in Ref. [4,8], respectively. Incorporation of these experimental data
coupled with the swelling model described earlier into this simple
methodology yields the temperature- and dose-dependent thermal
conductivity values for SiC/SiC specimens in this study. Fig. 2 shows
a map of thermal conductivity for SA3-PyC150A SiC/SiC composite
as a function of irradiation dose and temperature. Note that this
particular composite exhibits a high thermal conductivity when
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Fig. 2. Contour map of SA3-PyC150A SiC/SiC composite through-thickness thermal
conductivity as a function of temperature and dose.
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compared to more common variants such as Hi-Nichalon Type-S
CVI composite.

2.1.3. Other thermal properties

Other thermal properties that need to be considered are the
coefficient of thermal expansion (CTE) and the heat capacity. The
effect of irradiation on CTE of SiC/SiC composites is known to be
negligible [8]. Accordingly, a baseline temperature-dependent
CTE was used from experimental data provided in Ref. [8]. The heat
capacity of SiC in the monolithic and the composite form is once
again known to be largely independent of irradiation dose. The
experimental values that were plugged into the model were ex-
tracted from Ref. [4].

2.1.4. Mechanical properties

To provide a complete thermo-mechanical analysis of the SiC/
SiC cladding temperature, dose, and the geometrical dependence
of mechanical properties of these composite materials must be
accurately incorporated into the model. Fortunately these data
have become recently available and are included [8]. Consistent
with the previous section, the properties for SA3-PyC150A SiC/
SiC composite have been chosen to be used during the course of
this analysis. As it is the case for monolithic CVD SiC [4], the elastic
and shear moduli are expected to decrease slightly as function of
temperature. The irradiation effects on E and G can again be corre-
lated to the magnitude of swelling (that represents the extent of
defects present in the material), where a slight decrease is also ex-
pected. The directional dependence of the elastic and shear moduli,
as well as the Poisson’s ratio, reported in Ref. [8] is taken into ac-
count for the composite material in the unirradiated state. The
elastic and shear moduli are then adjusted given only the swelling
for the material during the course of model evolution, whereas the
value of Poisson’s ratio is kept constant (the in-plane Poisson’s ra-
tio is assumed to be 0.13 and the through-thickness Poisson’s ratio
is 0.16).

2.1.5. Creep

Thermal creep for SiC cladding structures is ignored in this anal-
ysis since the onset of those processes (>1400 °C) is well above the
temperature range pertinent to cladding operation under nominal
LWR conditions [25]. However, irradiation creep of SiC, although
very limited in magnitude, is active at low temperatures, can play
a small role on evolution of the mechanical state of the cladding
structure and needs to be taken into account. Recent studies by Ka-
toh et al. [26,27] on CVD SiC correlate the irradiation creep strain
rate with the swelling rate with a first-order dependence on the
applied stress. This formulation is adopted for the analysis per-
formed here with details on its implementation discussed in the
following sections. It is worth noting that irradiation creep and
swelling are not fully separate and independent phenomena. In
fact, similar to irradiation growth and creep that are coupled in
Zr alloys, irradiation creep and isotropic swelling of SiC are also
coupled and interdependent. These complex interdependencies
are not well understood and are not captured in the framework
of the current analysis.

2.1.6. Fission gas release

Fission gas release (FGR) remains an area of active research in
the field of nuclear fuel science and engineering and is greatly sen-
sitive to the type and microstructure of the fissile medium as well
as the operating regime [28]. In this analysis a very simple yet pur-
poseful FGR model is employed. Essentially it is assumed that the
rod internal pressure linearly increases as a function of time from
1 to 20 MPa in 2 years. This very simple assumption was employed
to understand the effects of FGR on the mechanical behavior of
cladding in a clear manner. Note that the final value of 20 MPa

Table 1
Summary of dose and temperature dependence of material properties for SiC/SiC
composite.

Property Dose dependent Temperature dependent References
S Yes Yes [19]

k Yes Yes [8]

o No Yes [4]

Cp No Yes [4]

E.G Yes No [8]

v No No [8]

Ey E; Yes No [8]

Vp, Vr No No [8]

constitutes excessive release and is beyond what is typically seen
at end-of-life in LWR fuel pins. However, this value was intention-
ally set to showcase the effects of rod internal pressure once it sur-
passes that of coolant pressure.

2.1.7. Dose- and temperature-dependent properties

Table 1 provides a list of various materials properties used in
this model along with whether temperature and dose dependen-
cies for these properties are taken into account using experimental
data in the applicable references.

2.2. Solution methodology

The Euler implicit scheme was chosen for the discretization of
the heat equation to convert the continuum differential equation
into a set of finite-difference or finite-element equations for the
1D and 2D analyses, respectively. As described in the following sec-
tions, these equations are in turn assembled in sparse matrices and
solved simply given a set of boundary conditions. However, given
the complexity presented by temperature- and dose-dependent
material properties, in order for the simulation to reflect the entire
lifetime of a cladding, a decoupling process similar to that de-
scribed previously [29] was adopted as a compromise between
accuracy and calculation efficiency. The operator splitting
algorithm is depicted graphically in Fig. 3. Essentially the spatial
variation of material properties is taken into account at each
time-step given a first-order extrapolation of those values from
the two previous time-steps (Euler implicit method). Given these
estimated values, the properties are assumed frozen at the current
time-step and the heat equation is then solved. From the new cal-
culated temperature values, the material properties as well as
swelling and creep strain rate are updated for each node/element.
The final task of the algorithm for each time-step is to carry out the
stress calculations. The details and the differences of the analysis
method for the 1D and 2D models are described in detail in the fol-
lowing sections.

The initial temperature profile in the fuel (essentially the initial
condition for the transient analysis) is calculated in the absence of
any irradiation. This is consistent with reactor conditions where
thermal equilibrium across the cladding will be reached long be-
fore any significant effect of irradiation is experienced within the
material. The initial condition is also calculated using the transient
equations starting from a uniform temperature distribution and a
set of boundary conditions consisting of heat flux from the fuel
and convective heat transfer to the coolant. Once the temperature
profile equilibrates under these conditions, it is taken as the initial
condition and the onset of irradiation. The code takes advantage of
an adaptive time mesh to enhance the calculation efficiency. The
time-step increases as neutron exposure builds since the accumu-
lation rate of irradiation effects is expected to decrease. The
implicit discretization scheme described earlier will provide
unconditional L* stability. This is important in the course of this
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Fig. 3. Algorithm utilized during each time-step.

analysis since an adaptive time mesh is employed and also because
of the very fast drop in thermal conductivity at the beginning of the
irradiation. However, this comes at the cost of a loss of one order of
magnitude in time compared to an optimal Crank-Nicolson [30]
semi-implicit scheme (first- vs. second-order accuracy).

2.3. 1-Dimensional finite-difference model

2.3.1. Heat equation

For the 1D analysis, an infinitely long SiC/SiC composite clad-
ding (empty cylinder) without any volumetric heat generation is
considered. The cladding is considered to be isotropic, homoge-
neous, and azimuthally symmetric. Accordingly, all thermal
properties that are assumed to be temperature and irradiation
dependent (i.e., conductivity, specific heat) are radially and tempo-
rally variable, as shown in Fig. 4.

After the thermal equilibrium is reached and the initial condi-
tion is established, the cladding experiences a constant dose rate
(~10~7 dpa/s [31]) and spatially uniform fluence. Since the thermal
conductivity varies with neutron dose (see Section 2.1.2), the dose-
dependent heat equation is formulated as

0 10 oT

Two boundary conditions are imposed on the cladding inner and
outer surfaces. The first boundary condition is a heat flux, g, arriving

from the fuel pellet to the inner surface of the cladding, as described
by Eq. (4). In the 1D analysis, the incoming heat flux is assumed to
be constant, axially and azimuthally uniform, and is determined by
the linear heat rate (LHR) of the fuel rod. On the outer surface, the
convective heat transfer into the coolant sets the boundary condi-
tion, as shown by Eq. (5). The heat flux is governed by the difference
between the cladding outer surface and the coolant temperatures
and the magnitude of the hydraulic heat transfer coefficient. A typ-
ical value for the heat transfer coefficient (10,000 W m~2 K') is as-
sumed [32]. In the 1D analysis, coolant temperature and the heat
transfer coefficient are assumed to be axially and azimuthally uni-
form and constant at their initial value all along the simulation.
These two boundary conditions are realized using two ghost nodes
— one on the inner surface and the other on the outer surface.

kVT(r:rl) = _qéh (4)

KTy = ~h(Tor, — Te)er. 5)

These boundary relations are assumed to be valid before and all
during the irradiation of the material, without any change or depen-
dency on the dose rate and the dose experienced by the cladding. At
the onset of the calculation and prior to determining the initial
condition before the start of irradiation, a uniform temperature T,
is assumed within the entire cladding.

q
— | W | T |Ts

AY

Fig. 4. 1D finite-difference analysis scheme.
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2.3.2. Mechanical equations

The cladding geometry in the 1D model remains rotationally
symmetrical and axially infinite, while the composite material is
assumed to be homogeneous and isotropic. As discussed earlier,
Poisson’s ratio is independent of temperature and neutron dose,
whereas Young’s modulus exhibits only dose dependence (there-
fore, in the following, it is considered as a radially variable prop-
erty). The two sources of strain in the cladding are both isotropic
and arise from thermal expansion, due to the temperature gradient
between the outer and the inner surfaces, and from the swelling,
which is directly related to the temperature and dose across the
cladding thickness. Determination of the magnitude of swelling
and thermal expansion coefficient for each radial element is ad-
dressed in Sections 2.1.1 and 2.1.3. The swelling strain at each
direction equals one-third of the magnitude of the volumetric
swelling. This is the case since the swelling phenomenon is isotro-
pic and the resulting strains are small compared to the cladding
thickness. Assuming only a small range of deformation is experi-
enced and the material remains in the elastic regime, the constitu-
tive equations (Hooke’s Law) are as follows:

S

&g==(0,—Vv(oy+0,))+a(T-Tc)+ 5, (6)

| =

&=

| —

3
(00— V(0r +02) + 2T~ T 43, )
s

sz:%(az—v(ag+o'r))+oc(T—Tf)+3. (8)

Generalized plane strain condition was assumed in the axial
direction in the 1D analysis. This is a very good assumption for
the majority of the cladding height since the cladding thickness
is roughly four orders of magnitude smaller than its height. The
equilibrium condition and the expression of small deformations
in cylindrical coordinates with displacement vectors lead to the
following:

de, & —&

a0 ®)
1d(,ds\ —E (d 1dS

ﬁﬁ(r dr>*m<a<“”+§a>~ 1o

]

Fig. 5. Representation of the 1D radial stress boundary conditions.

In order to solve Eq. (10), two boundary conditions are needed that
are provided by the assumptions of axially uniform inner and outer
pressure (Fig. 5). The inner pressure varies as a function of time as
discussed earlier to increase linearly from 1 to 20 MPa at the end of
the analysis. The outer pressure is fixed at that of a typical pressur-
ized water reactor (PWR) coolant pressure of 15 MPa.

Or(r=r;) = —P; (11)

Orr—ry) = —Pe (12)

Using the radial equilibrium condition expressed in cylindrical
coordinates, the azimuthal stress may be inferred from the radial
one by

Gy = (1), (13)

The axial stress can then be determined using the Saint
Venant’s principle. The assumption of no axial load on the top
and on the bottom of the cladding is used to determine the axial
stress and relies on the fact that in a real reactor the cladding is
free to move along the axial dimension (the cladding is not
constrained axially, as shown in Fig. 6). This is an immensely
important consideration during the course of stress calculations.
If one is to incorrectly assume axial constraint, widely different
results will emerge that will not be representative of the actual
reactor conditions.

The closed pressurized tube with an unconstrained axial
condition implies that the mean axial stress is given by

_ froenrdr r2(p - P,)

oz Jerdr o omrE-rp) i

Moreover, because the thickness of the cladding is roughly four
orders of magnitude smaller than the height, it can also be
assumed that the expression of the axial deformation is indepen-
dent of the radius of the element. These assumptions and the
expression of the axial deformation given by Hooke’s law, averaged
on an axial slice of the cladding, lead to the following derivation:

0,(r)=E(r)-&+v(o,(r)+04(r)) —E(r)- {ot(T(r)—Tc)+§} -0, (15)

BiE

Fig. 6. Representation of the 1D axial boundary conditions.
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with

. I v(oe(r) + o (r)rdr

Ji E(r)rdr
e Er) - (u(T(r) = Te) + *Pyrdr
_ frfie E(ryrdr (16)

Note that the radial dependency of the Young’s modulus is ta-
ken into account in the previous equations while being ignored

during the well-known derivation of Eq. (10). Indeed, if “E’—zz_f <Z,

Eq. (10) is not subject to change. This condition is verified given
that £~ 1m' and % ~ 10 * m",

Fig. 7 depicts the full discretization scheme for the mechanical
analysis.

2.4. 2-Dimensional finite-element model

2.4.1. Methodology

The 2D simulation is designed to solve the axi-symmetrical
problem of heat conduction and stress calculation without any
azimuthal dependencies. However, unlike the 1D simulation, the
axial dependency was taken in account (i.e., a clad of finite length
is considered), and so it is necessary to perform the analysis in the
radial-axial (r — Z) domain. The projection of one of the wall cross
sections of the annular cylinder in a r — Z model is simply a rectan-
gle. This domain is designated as @, and the boundaries are be
designated as ey, ing, and Ieng, as shown in Fig. 8.

The heat and stress equations are solved using a finite-element
method. Only triangular elements were used to mesh the domain
Q, as shown in Fig. 8, and linear functions (P1) were used to
approximate the solution. Linear triangular elements simplify the
calculation; however, these elements are subject to volumetric
locking for nearly incompressible solid mechanics behavior [33].
Accordingly, this complicates consideration of creep since it consti-
tutes such behavior. Since the magnitude of creep, discussed in
Section 2.1.5, is very limited, these complications are overlooked
and triangular elements are used. It should be noted that a more
cumbersome approach using rectangular elements with second-
order interpolation functions would alleviate these complications.
Further details on the implementation of the finite-element model
and on the mesh are discussed in the Appendix A.

As for the 1D simulation, physical properties are interpolated
using experimental data. Each element of the mesh (the triangles)
was assumed to have constant physical properties. These proper-
ties are determined using the values at the nodes composing the
elements. Thus, for an element j, the physical property X; is ob-
tained by this equation

X=X (17)

where x; are the values at the nodes of the element j. The x; are cal-
culated using the same extrapolation methodology as the 1D model,
and using the value of temperature and fluence (that are assumed
uniform) within each element.

2.4.2. Heat conduction equation

Boundary condition As for the 1D model, an azimuthally uni-
form heat flux was considered at the inner surface of the clad
I'ine, and a convective heat transfer with water at the temperature
T. on the outer surface I'.y. No heat transfer was allowed at the
cladding ends. These boundary conditions are summarized in the
following equations:

KV T=—gé on Iy, (18)
KVT=—h(T-T)é on le, (19)
V=0 on e (20)

The 2D model is capable of taking into account axial variations
in the incoming heat flux and coolant temperature. Indeed, in a
reactor the heat flux is likely to be high at the rod center while
coolant temperature rises upward.

Weak formulation To solve the heat equation using the finite-
element method, the weak formulation of this equation has to be
established as in [34]. The local heat equation is straightforward:

oG, % = kaT. (21)

Consistent with the previously described methodology, an im-
plicit Euler scheme was chosen for temporal discretization, offer-
ing an unconditionally stable solution for the L* norm. This leads
to this incremental equation:
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(=kdta + pCp)T™! = pC,T". (22)

Here dt represents the time-step and T" the temperature at the n' step.
After multiplying this equation by a function » € H'(Q x [0; 2I1]) and
using the integral in the domain Q x [0; 2I1], one arrives at

pCpT"vdV. (23)

/ (—kdta + pCy)T™ vdV =
Qx[0:21] Qx[0:21]

Using the Green Theorem, the Von Neumann boundary condi-
tions in Eqgs. (18) and (20), and the Robin condition given in Eq.
(19), the following result is determined:

/ kdt VTV odV + / pC,T™ dv
Qx[0:2T) Qx[0:21)

:/ pCpT”vdV+/ dtqudS
Qx[0:211] Tine x[0;211]

+ / dehT, vds dthT™ ds. (24)
Texe x[0:211] Fexe x[0:211]

Then, given azimuthal uniformity for any radial coordinate, r, the
boundary value problem reads as follows: Seek T"' € H'(Q) such
that

/ kdtVT™'Vord@+ [ dthT™ ordl + / pC,T™ 1dQ
JQ Q

Text

:/ pCpT"z/rdQ+/ dtqurdl+ | dthT.vrdl, ve H' (Q).
Q T

int Fext

(25)

According to the Lax-Milgram Lemma, a weak solution exists for
T™1. Then using a Galerkin discretization, which is explained in de-
tail in Appendix A, the solution can be approximated as

(dtA; + B)T"™" = dtb; + B, T", (26)

where A;, By, and b; are two matrices and a vector, as described in
Appendix A. The matrix calculations are implemented with Matlab,
and the resolution of the linear Eq. (26) takes advantage of the LA-
PACK library. Sparse matrix descriptions are used appropriately for
A and B in order to enhance the calculation efficiency.

2.4.3. Stress equations

Boundary condition As noted earlier, the boundary conditions
for the stress calculations are extremely important and can
strongly affect the stress profile. The 2D simulation is a good meth-
od used for benchmarking the accuracy of the 1D model, in partic-
ular the Saint Venant assumption on the axial direction. Otherwise,
the stress boundary conditions are exactly the same as the 1D

gn=-Pi-n on i, (27)
gn=—Pe-n 0n ey, (28)
gn=—Pe-n on ey, (29)

where ¢ is the Cauchy stress tensor and n is the normal vector. The
cladding is assumed to be entirely free to move. To handle an iso-
static problem, and given azimuthal symmetry, the axial displace-
ment of the bottom left-hand corner node follows a Dirichlet
condition:

u,(Dirichlet Node) = 0. (30)

This assumption, as shown in Fig. 8, will essentially just prevent the
cladding from translating axially.

Weak formulation The stress problem is considered in small
displacement and in small deformation. The displacement vector
u is only described by its radial and axial component:

(1)

In the cylindrical coordinates, the deformation tensor can be
written using Voigt representation:

Err or
Ur
€oo T
e=| 0| = e (32)
zZ 0z
oy | oy
2ér: w5

The thermal expansion and the swelling are supposed to be isotro-
pic and may be written as

1 1
1 S|1

ET:OC(TiTC) 11 §S:§ 1 (33)
0 0

and consistent with other properties, they are assumed to be con-
stant within each element.

Contrary to the 1D model, the 2D analysis takes into account
irradiation creep. For the study, the range of temperature is likely
to be between 300 °C and 500 °C and the range of dpa (displace-
ment per atom) between 0 and 10 dpa. According to [27], the
creep strain rate is proportional to the swelling rate and the stress
via

é=KSo. (34)

Since creep is a constant volume phenomenon, the flow rules leads
to

& =KSa', (35)
where ¢’ is the deviatoric stress tensor,

g =0- %Tr(g)

and K is a theoretically temperature-dependent constant, which is
kept constant in the study (K ~ 0.55 x 107! Pa~!). Using the impli-
cit methodology, the creep strain, constant within each element, at
the time step n is obtained with the creep strain rate of the time
stepn—1:

& =6+ K(Sy—Sn1)Tnr’ (36)

The stress follows the Hooke’s law:

0=Ce) ~&), &=t +¢& +¢&. (37)

The stiffness tensor C depends on the properties of the specific

material. 1D, 2D, and 3D composites have different stiffness tensors.
Furthermore, the fabrication process is also important for the
mechanical behavior. The code uses by default a 2D composite
(Fig. 9) which is wound around the clad. Thus C-' can be explicitly

defined by common mechanical propertie_s defined in the
nomenclature:

r L _Ypr o Vpr b
Er Er g 0
1 %
E B Ep 0
c'= - (38)
= Yor Y 1
Er E & 0
0 0 0o 1
L G
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Fig. 9. Design description of a 2D SiC/SiC cladding.

The virtual work principle is then used to build the weak formu-
lation using the H} () space [35]:

weH\(Q) = {w € H'(Q)|w = 0 on Dirichlet Node}. (39)

Therefore, the displacement vector is the solution of the following
equation: Seek u € H'(Q) x H},(Q) such that

/é(v) : C(e(u) — &)rdQ

= P,(v~e7)rdl+/ —Po(v-er)rdl, veH'(Q) x H(Q)

Tint Text

(40)

According to the Lax-Milgram Theorem and the Korn’s inequal-
ity, the solution exists. u is also approximated using the Galerkin
method:

Azu = bz, (41)

where A, and b, are a matrix and a vector, respectively, and are cal-
culated in Appendix A. Similar to the 1D methodology, the sparse
matrices in Eq. (41) are calculated using the LAPACK library in
Matlab.

3. Results

Results from the 1D and 2D simulations are presented in this
section to assess the time-dependent thermo-mechanical behavior
of the LWR SiC/SiC composite cladding under irradiation. The reli-
ability of the different simulation strategies is also examined here.
Initially, the accuracy of the 1D finite-difference model was bench-
marked against the analytical solutions of heat and stress
equations given a constant set of physical parameters and its ade-
quacy was confirmed. As will be shown in Section 3.3, the results
from the 1D and 2D analyses can be benchmarked against one an-
other without a major discrepancy. This was the case even though
completely different analytical strategies were utilized between
the finite-difference and finite-element sets of analyses.

For the sake of consistency, the results presented in the follow-
ing sections are obtained using a set of simplified input parameters
presented in Table 2. The study duration is limited to 2 years (as
opposed to typical 4.5 years residence lifetime for conventional
LWR pins) since early stage phenomena involving evolution and
saturation of swelling (occurring at ~1 dpa or 0.3 years) are the
important factors under study here. Once swelling saturation oc-
curs, the cladding material properties are no longer subject to

Table 2
Set of input parameters for the 1D and 2D benchmark analyses.
h 10,000 W/m? K
Tc 573.15K
q (linear heat rate) 350 W/cm
P; (initial) 1 MPa
P; (final) 20 MPa
P. 15 Mpa
T 4.18 mm
Dose rate 1x 1077 dpa/s

Study duration 6.1 x 107 s ~ 2 years

change and the only driver for further evolution in thermo-
mechanical behavior of the cladding is the rod internal pressure.
The simple assumption of linear increase in rod internal pressure
provides clear trends while enabling useful observations in the
span of this 2-year study. The dose and temperature dependence
of the physical properties is taken into account per earlier discus-
sions, as summarized in Table 1.

3.1. 1D simulation results

Fig. 10 shows the results of the 1D analysis that captures the
evolution of temperature and various components of stress for dif-
ferent cladding thicknesses as a function of time. Specifically, time
evolution of the values at the inner and outer radii is plotted.

The temperature inside the cladding tends to increase due to
the drop in thermal conductivity (caused by the irradiation). This
phenomenon is more pronounced for the thicker cladding, which
presents a larger thermal resistance for heat conduction. Note that
Fig. 10 shows the temperature at the outer surface decreasing with
an increase in cladding thickness. This is simply due to an increase
in the outer surface, which improves the convective heat transfer
process given a constant heat transfer coefficient employed in this
analysis. Initially, the gradient of temperature across the cladding
(governing the differential thermal expansion across the thickness)
determines the axial and azimuthal stress profiles. However, as the
material experiences irradiation, the swelling strain develops,
which significantly alters these stress profiles. Since the magnitude
and the rate of swelling decrease with increasing temperature, the
cladding experiences larger swelling strains at the outer surface at
the onset of irradiation. This will increase the tensile stress compo-
nents at the inner radius of the cladding. The saturated swelling
strain, being roughly an order of magnitude larger than the ther-
mal expansion strains, will induce complete rearrangement of
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Fig. 10. Time evolution of stress and temperature as a function of time and cladding thickness. Note that r; is fixed at 4.18 mm.
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the stress profile. Specifically, this results in inversion of axial and
azimuthal stress profiles across the thickness, as shown in Fig. 11.
The saturation of the swelling results in saturation of material’s
thermal resistivity, after which the cladding temperature profile
does not experience any further change. The axial and azimuthal
stress on the other hand will continue to increase due to the fission
gas release. Fig. 10 also indicates that the axial and azimuthal ten-
sile stresses tend to increase with an increase in cladding
thickness.

At the end of life, the maximum tensile stress is the azimuthal
stress on the outermost surface of the cladding. This is partially
driven by the increase in the internal gas pressure (20 MPa at the
end of the simulation). In fact, without the high internal gas
pressure and assuming no fuel-cladding contact, the azimuthal
stress would be only compressive for the thin cladding (thickness
<0.7 mm) since the coolant exerts hydrostatic pressure on the
cladding. Nevertheless, even without excessive fission gas release,
a tensile axial stress remains that is largely independent of the
pressure differential across the cladding and instead is a function
of temperature and swelling gradients across the cladding thick-
ness. Fig. 11 shows the radial, axial, and azimuthal stress profiles
across the thickness at the beginning-of-life (BOL) and at the end
of a 2-year irradiation period for a 580-pum-thick cladding.

3.2. 2D simulation results

3.2.1. Uniform heat flux and coolant temperature

The results from the 2D finite-element analysis prove consistent
with the 1D finite-difference results. Except at the very end of the
cladding, the solutions to temperature and stress show no axial
dependency, as shown Fig. 12. This implies that the treatment of
the unconstrained axial condition in the 1D analysis is adequate
for the 4-m-long cladding. The time evolution of the temperature
and stress profiles at the middle of cladding follow the same
behavior as the results obtained from the 1D analysis. However,
the axial and azimuthal stresses relax at the ends of the cladding,
as shown in Fig. 13, since the material is less constrained and
has the freedom to elastically deform (essentially approaching
plane stress conditions). Another difference is the presence of
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shear stress at the end of the cladding (Fig. 13) due to the fact that
exterior of cladding expands more than the interior (swelling
gradient). Therefore, at the end of the cladding a small axial defor-
mation is observed, as shown in Fig. 14. This deformation (shear
deformation) is quite small and leads to small shear stresses.

3.2.2. Variable heat flux and coolant temperature

Another set of simulations were carried out to take advantage of
the 2D-finite element method taking into account axial variations
in heat flux and coolant temperature profile. The time-dependent
heat flux and coolant temperature profiles were from an actual
experimental PWR rod irradiated under OSIRIS-R3 experiment
[36]. Specifically, the data were from “father” rod K11, and the sec-
tion was identified as K11-5. Fig. 15 shows the profiles after 1 year
of irradiation). The maximum LHR during this test was ~200 W/
cm.

Fig. 16 shows the stress profile and temperature profile through
the clad after 1 year (~3 dpa). The results of this simulation indi-

cate that nonuniform power and coolant temperature profiles do
not significantly alter the behavior of the cladding from that of
uniform power and coolant temperature. Despite a change in the
temperature (which follows the power and coolant temperature
profiles) and in the radial stress (which follows the power profile
but remains compressive), the axial and azimuthal stress distribu-
tions are similar to the case under which the power profile is
uniform.

3.3. Comparison

An important result for consideration is the change in the
dimensions of the cladding in the radial and axial directions. Radial
displacement, simply calculated using azimuthal strain, is a key
parameter both on the inside since it alters the fuel-cladding gap
and on the outside since it changes the pitch-to-diameter ratio be-
tween the rods. Fig. 17 shows the effects of temperature and swell-
ing, both leading to increased interior and exterior radii. The initial
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decrease in cladding radius due to the large coolant hydrostatic
pressure is small compared to these values. Moreover, the effect
of swelling is stronger than the thermal expansion because the
outer surface expands more than the inner surface, whereas its
temperature is lower. When comparing the finite-difference and fi-
nite-element analysis results, the 2D methodology produces a
slightly smaller increases in the radii as compared to the case for
the 1D method. This is the case since the 2D simulation takes in ac-
count the creep phenomenon, which reduces the radius due to out-
er pressure.

The axial growth, a well-known phenomenon for Zr alloy clad-
ding [37], should also be considered. For the SiC/SiC composite, the
axial growth arises mainly from the isotropic swelling. As the sat-
urated volumetric swelling is ~1.5% in this temperature range, ax-
ial growth on the order of ] of that value is expected. The 1D and 2D
simulation, in good agreement, reproduce this expectation ade-
quately, as shown in Fig. 18.

Finally, a comparison between the results of stress calculations
in 1D and 2D simulations is performed. The absolute error
(02p — 01p) is plotted in Fig. 19. 2D and 1D simulations do in fact
predict similar stresses, while the absolute error in the azimuthal
stress distribution is greater due to the larger absolute values.
The main source of this discrepancy arises from neglecting to take
into account the creep phenomenon in the 1D model. The maxi-
mum relative error is roughly 10%. This figure also shows that
the 1D model tends to overestimate the tensile stress. However,
since the 1D simulation is much faster than the 2D simulation

and more conservative, it appears as the appropriate choice for
parametric studies.

4. Discussion
4.1. Pellet-cladding gap

During the course of this analysis, the behavior of the fuel pellet
was never considered. Essentially the inner surface of the cladding
was never considered to come in contact with the pellet. The appli-
cability of this assumption needs to be verified, and it is clearly a
function of initial gap thickness and the swelling rate in the pellet.
Pellet-cladding contact in conventional UO,-Zr alloy clad fuel is a
well-recognized phenomenon that takes place at 30-40 MWd/
kg UO, burnup due to the combined effects of cladding creepdown
and fuel pellet thermal expansion and subsequent swelling. In the
case of SiC/SiC composite, as reported previously [15,18], the clad-
ding instead swells to expand radially and does not experience any
tangible creepdown under the pressure differential across the cool-
ant to the rod internals. Therefore, the evolution in the pellet-clad-
ding gap is the sum of cladding radial expansion and fuel pellet
swelling. If one assumes a constant swelling rate on the order of
0.75% per 10 MWd/kg UO, burnup for the urania pellet (ignoring
initial in-pile densification), the following estimates in gap size
evolution as a function of initial gap size (after pellet thermal
expansion) and fuel burnup can be made, as shown in Fig. 20.

As indicated in Fig. 20, initially the gap rapidly expands due to
swelling of the SiC cladding. As an example this is shown using an
arrow for an initial gap thickness of 60 pum that approaches nearly
80 um at a fuel burnup of approximately 5 MWd/kg UO,. After the
cladding swelling saturates early in life, pellet swelling reduces the
gap at a constant rate. For the example case of 60 pm initial gap
thickness, the resulting gap at 60 MWd/kg UO, fuel burnup is
approximately 20 um. Note that the gap size evolution is remark-
ably different in the case of SiC cladding when compared to what is
expected for Zr alloy cladding. This simple analysis implies that if
an initial gap larger than 40 pm is assumed (again, post pellet ther-
mal expansion), the pellet cladding gap never fully closes through-
out the fuel lifetime. This result is clearly oversimplified since a
constant pellet swelling value is assumed and fuel relocation is ig-
nored. However, the overall trend is indeed applicable to draw a
number of general conclusions.

First, pellet-cladding mechanical interaction (PCMI) and fuel
behavior under reactivity insertion accidents (RIAs) are expected
to be positively influenced. Essentially, lack of or any delay in
gap closure will reduce the susceptibility of the cladding to PCMI
mode failure under power ramps or RIAs. On the other hand, the
second consideration relates to the temperature profile in the pel-
let that is expected to be adversely affected. An already larger tem-
perature drop across the cladding is now added to a large thermal
resistance across the gap that is set to rapidly increase at the early
stages of the fuel lifetime. Accordingly, the entire fuel temperature
profile is shifted upward, which in turn further reduces fuel ther-
mal conductivity (more Umklapp scattering), affects pellet swell-
ing rate, and results in more fission gas release [15]. These
complex effects need to be carefully considered, and a complete
analysis is needed to ensure the fuel meets its operational safety
envelope [38].

4.2. Failure probability for SiC/SiC composite cladding

The main purpose of this study is to provide a framework for
analysis of the thermo-mechanical behavior of SiC/SiC composite
cladding for LWR fuel rods. Now that this framework is in place,
the stress results determined within the elastic domain can be
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used to assess the failure probability of the cladding under nominal
operating conditions. In contrast to the failure mechanism of
metallic cladding, SiC exhibits brittle fracture and therefore a broad
distribution in its failure stress. Yet the failure mechanism proves
even more complicated for the SiC/SiC composites. As it is ex-
plained by Nozawa et al. [39], the matrix of the SiC/SiC composite
experiences substantial micro-cracking at a stress of ~70% of the
proportional limit stress (PLS) that is reached well below the ulti-
mate tensile strength (UTS). This is the case since the matrix SiC
with a higher Young’s modulus than that of SiC fiber is the domi-
nant carrier of the load at small strains. Once stresses near the

r; =4.18 mm,r, = 4.76 mm,L =4 m. The 2D growth is averaged throughout the
cladding height.

PLS are reached, the matrix cracks (starts to open) and the load
is then transferred onto the fibers, which endure it up to UTS.
Therefore it is unclear which one of these stress limits (true matrix
cracking stress or UTS) constitutes failure for LWR SiC/SiC cladding.
It is also noted that, inherent to the processing of the composite,
microcracks potentially exist in the as-fabricated state, serving as
potential sites for future crack growth. If one considers SiC/SiC
composites for structural components within the core, UTS would
be an appropriate parameter to set the failure criterion. However, it
is likely that interconnected matrix micro-cracking will be
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Fig. 20. Pellet-cladding gap size evolution as a function of initial gap size and fuel
burnup for SiC/SiC composite cladding. r; = 4.18 mm,r, = 4.76 mm. As an example,
the arrow indicates initial expansion followed by contraction of the gap for an
initial thickness of 60 pum.

intolerable for fuel cladding applications where fission product re-
lease into the coolant or water ingress into the rod is not allowed.
Accordingly, PLS (if not the true matrix cracking stress at ~70%
PLS) of the SiC/SiC composite cladding is deemed more appropriate
to set the failure criterion for cladding applications.

According to Ref. [8], PLS seems to follow a Weibull distribution
(other distribution functions could also prove applicable). Note
that in this analysis a two-parameter Weibull is considered.
Whether a translated Weibull distribution (three-parameter) is
applicable is not known at this point, and such a distribution is
not considered in this analysis. The Weibull statistics dictate that
the probability of failure initiated from a bulk defect is given by
the following equation:

P=1-exp {—% /Q <§O>md0} (42)

where V is the characteristic volume, m is the Weibull modulus
(shape parameter), and ¢, is the characteristic strength (scale
parameter). The following result is obtained in a parametric manner
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Fig. 21. Bulk instantaneous failure probability due to axial and azimuthal stresses
within the cladding. r; = 4.18 mm,r, = 4.76 mm.

with g varying between 50, 100, and 150 MPa and m kept constant
at 7. These values are representative of what is reported by Ref. [8]
and can vary across various SiC/SiC composites. Note that normali-
zation against a characteristic volume was not performed since the
applicability of this approach for SiC/SiC composites is not likely. It
is important to note that the failure probability analysis provided in
this paper is simplistic and that a more sophisticated approach con-
sidering confidence intervals for Weibull parameters and the vol-
ume effect may likely result in further, significantly reduced
design allowable stresses.

Fig. 21 shows the instantaneous failure probability as a function
of time due to axial and azimuthal stress, separately. Although
cumulative failure probability is the relevant parameter for day-
to-day operation, the instantaneous probabilities provide insight
with regards to critical periods during operation. A band of fuel
failure rate probability associated with today’s Zr alloy clad LWR
pins is also shown in the figure for the sake of comparison [40].
Note that the mechanisms of fuel failure between these two clad-
ding systems are likely to significantly differ.

As expected, the stress-related failures appear later in cladding
lifetime triggered by the increasing internal rod pressure due to
the assumed FGR. Earlier in life, at least for the thin cladding
(~600 pm), the stresses are largely compressive and cannot jeopar-
dize the integrity of the cladding. The onset and magnitude of the
increase in axial and azimuthal tensile stresses are quite important
and strongly depend on the cladding geometry. As the cladding
thickness increases, the larger temperature drop across the clad-
ding results in a steeper swelling gradient. This in turn induces
large tensile stresses at the cladding inner surface early in life.

The cladding geometry (essentially inner radius and thickness)
plays a major role in cladding integrity during the fuel lifetime. In-
deed, it will affect the heat flux at the inner surface at a constant
LHR and the temperature distribution within the cladding. As
Fig. 22 shows, the failure probability due to axial stress has a
strong dependence on thickness and is governed by the swelling
gradient across the cladding. Also a slight dependence on the inner
radius due to a change in heat flux is noted.

The instantaneous failure probability due to axial stress in-
creases exponentially with thickness and tends to be smaller with
a smaller inner radius. The instantaneous failure probability due to
azimuthal stress proves more complicated to interpret, as Fig. 23
suggests.

At a constant thickness, as the inner radius increases it tends to
increase the failure probability. This is simply explained by the thin
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tube approximation (g, =). The variation in the maximum
instantaneous failure probability with thickness shows a minimum
around 600-800 pm. While the increase in the thickness will allow
the cladding to resist the large internal pressure at the end-of-life
(EOL), it will also increase the magnitude of swelling strain, by
resulting in higher temperature and therefore swelling gradients.
The ~600-800 pm thickness represents a condition where these
two effects have reached an optimal balance. Other parameters
also affect the failure probability. As shown in Fig. 24, the rod inter-
nal pressure at the EOL has a strong effect on the failure probability
due to the azimuthal stresses. If the rod internal pressure remains
below the coolant pressure, axial stress is the dominant driver for
cladding failure. This is in fact what is expected from majority of
LWR rods within their lifetime. However, once the internal pres-
sure exceeds the coolant pressure, failure probability due to azi-
muthal stress becomes important and can exceed that of the
axial pressure.
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Fig. 24. Azimuthal and axial stress driven failure probabilities as a function of the
inner pressure at the end of life for 580 and 980 pm thick cladding, r; = 4.18 mm.
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The linear heat flux arriving from the fuel into the cladding in-
ner surface impacts the axial and azimuthal failure probabilities in
a complex manner, as shown in Fig. 25.

On one hand, an increase in the LHR will produce a steeper tem-
perature gradient that in turn increases the swelling gradient and
therefore the stress. As noted earlier, this effect will be even more
pronounced for more common Type-S fiber SiC/SiC composites that
exhibit a significantly lower thermal conductivity than the high-
thermal conductivity SA3-PyC150A composite examined in this
study. On the other hand, however, a larger LHR will raise the
mean temperature across the cladding and decrease the overall
magnitude of the swelling and therefore the stress. In mathemati-
cal terms one can differentiate Eq. (1) to elaborate further on this
point, as shown in Eq. (43).

VS o« by VTeb'" (43)

Since b is a negative number, it implies that the swelling gradient
is opposite and proportional to the temperature gradient. In the
meantime, as the mean temperature increases, the exponential
term in Eq. (43) drives down the overall magnitude of the swelling
gradient. Note that a maximum of failure probability exists at
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~400 W/cm for both azimuthal and axial stresses, as shown in
Fig. 25.

4.3. Design considerations for SiC/SiC composite cladding

Given the previous set of results and discussions, consideration
of the following points are worthwhile toward optimization of the
thermo-mechanical behavior of a SiC/SiC composite cladding:

e Maximum of tensile stress is located at the inner surface of
the cladding as the fuel lifetime evolves.

e Even for thin claddings (~600 um), the temperature
increase across the thickness proves substantial (even for
the high thermal conductivity composite structure consid-
ered in this study). For instance, given an LHR of 350 W/cm,
the temperature drop across the cladding is in the range of
150-250°C (for Zr alloy cladding this would be ~40 °C).
This will shift up the overall fuel temperature and exacer-
bate fission gas release.

e An immediate need exists to better understand failure
modes and their associated statistical trends (whether
related to fission product release or structural damage)
for SiC/SiC composites to enable better informed design
analyses.

e By ensuring that the internal rod pressure does not exceed
the coolant pressure (15 and 7 MPa for PWRs and BWRs,
respectively), failure probability due to azimuthal stress
for a thin cladding (~600 pm) will be limited in magnitude.
If rod internal pressure is set to exceed this value an opti-
mized thickness exists that limits failure probability due
to azimuthal stress.

o If the rod internal pressure remains small, the axial failure
probability can be limited by choosing a cladding that is
less thick (assuming viable fabricability and handling
methods exist).

e The inner radius and the rod height are bound to expand
and increase under irradiation. Cladding growth of ~2 cm
does not appear to be a limiting factor in design. However,
the increase in the pellet-cladding gap requires sound con-
sideration to fully grasp the effect on fuel pellet tempera-
ture profile and the extent of fission gas release.

5. Conclusions

A multi-module framework for analysis of the in-pile perfor-
mance of SiC/SiC composite fuel cladding concepts in LWRs has
been formulated. The formulation is based on basic equations
and is discussed in detail both for the 1D finite-difference and
2D-finite element modules. The analysis framework only considers
the cladding and omits any fuel-cladding interaction since radial
expansion of the cladding early in life is expected to delay or elim-
inate the latter. The analysis inputs recent out-of-pile and in-pile
materials property data from nuclear-grade SiC/SiC composites to
provide a best-estimate analysis. The material property data can
be varied across the full spatial extent of the cladding to take into
account variable time evolution and directional effects. The 2D
module is also capable of inputting axially variable power and
coolant temperature profiles to investigate integral performance
of a full LWR pin.

This framework is expected to serve as a useful tool during con-
cept design and feasibility studies of SiC/SiC composite cladding
concepts and to guide the development activities. Some parametric
results are discussed that point to a largely different thermo-
mechanical behavior than what one expects in the conventional
Zr alloy cladding of LWR fuel pins. This is due to the fundamentally
different processes that govern the evolution of these different

materials under irradiation. The results of the parametric
thermo-mechanical analyses are then coupled with best-estimate
Weibull statistics distributions to predict fuel failure probabilities
for SiC/SiC composite cladding structures. These probabilistic
trends are then used to prescribe basic design guidelines.
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Appendix A

Mesh The 2D-simulation takes advantage of the built-in mesh
generator in Matlab. While advanced commercial fuel performance
codes such as FALCON [17] use rectangular elements and quadratic
interpolation functions, in this analysis the mesh is composed of
triangular elements and uses linear interpolation functions. This
was done to simplify the code and enhance computational effi-
ciency. Since triangular elements contain only three nodes, the
interpolation function and the gradient of this function are easier
to estimate. Since the weak formulation of the equations did not
involve any second-order term, linear interpolation functions were
appropriately and efficiently used.

The meshing scheme for the 2D simulation needs to imple-
mented efficiently in order to optimize for the large aspect ratio
of the cladding cross section in the RZ domain. To take into account
the large radial gradients in the variables of interest, the radial
nodes shall be at least an order of magnitude smaller than the clad-
ding thickness (~ 1 mm). In that case, if a uniform mesh were to be
used, given the large length of the cladding (~ 4 m), the mesh
would consist of millions of nodes.

Since the axial variations in temperature and stress are ex-
pected to be less steep, the mesh can be optimized so that the ver-
tical distance between the axial nodes is relatively large. However,
in order to take into account the end effects, the axial variation in
the node spacing is set to progressively decrease as one moves
away from the mid-plane of the cladding while the radial spacing
remains constant. Using this adapted mesh, less than a 1000 nodes
are required to simulate a 4-meter-long clad (e.g., 50 radial nodes
and 20 axial nodes).

Galerkin method A simple implementation of the Galerkin
method is clearly described in related litertaure [34]. However, be-
cause of the nonuniform physical properties and because of the
specific boundary conditions employed here, the stiffness matrices
have to be explicitly defined.

Heat equation The Galerkin method takes advantage of inter-
polation functions at each node to facilitate a solution to the con-
tinuous problem given a discrete and finite set of equations. #; is
the interpolation function at the node i. T, the solution of the heat
equation at each time step, is approximated by >" T;.x;. Accord-
ingly, the Galerkin method facilitates determination of the vector
T", given the temperature at each node T; at the time step n by
solving Eq. (25). According to Eq. (26), the matrices A;,B;, and
the vector b; are calculated as follows:

Ay = Zf/ k-r-vn;- anTdQ + Z;m

h-r-n;-ndl, (44)

sext

Bw:zf/pcp..rni.njdsz./ (45)
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by, :Z;m[ q'r'”fd”Z;-m/ hoT-r-nydl (46)

where 7, ¢, and ¢;,, designate the triangular elements, the edges
composing I'ey, and the edges composing Iy, respectively. Consid-
ering a given element 7, if the node i or j do not belong to this par-
ticular element, one arrives at

/ ke Vi Vide =0, (47)

However, if i and j do belong to 7,k shall then designate the third
node and (r,z), (rj, ), and (ry,z) specify the coordinates of these
nodes, respectively. Thus

Zy — Zi
Ti — Tk

/k-r~V11i~V’1}dQ:[II|T;|(ZJ*Zk-, rk*ri)'<

). s

where k; is the extrapolated thermal conductivity of element 7,7 is
the medium radius of element 7, and |t| is the area of element 7.
Using the same routine, if i and j belong to 7, then

T pCpr T ... .
/pcp.r.ni.y,jdgz% ifi+], (49)
T -pCpr T ... .
/pcp,r,ni,nj,dgz% ifi=j. (50)

When considering a given edge ¢, , if i and j belong to g,,,, then

[ wernna=tT el i (51)
[ hronna="T R i (52)
and if j belongs to ¢, , then

[ q~T~I1jdl:qgm ; |~.~exr|7 (53)

where |g,,| is the length of the edge. In a similar manner

[ Toor ndi= 1o 7 Gl - Cine (54)
sint
Stress equation The stress equation is solved essentially using the
same method. The same mesh and the same interpolation functions
are used. However, the unknown u is not a scalar anymore, but in-
stead it is a vector. To handle this, a vector U = 32"u;n; was defined,
where N is the number of nodes. If i = 1 (2), u; is the radial displace-
ment of the node &!; otherwise, it is the axial displacement of the
node £,

The matrices A, and the vector b, are calculated according to Eq.
(41):

hoy =Y, [ slne): Cletny-eyrae (55)
by, :Z; t —Pe.nj(ej.er)rdwzg_[/ P; - 1);(e; - e,)rdl
+y / e(1; - €) : C(eo)rdQ. (56)
Ifi=1(2),
e =e (57)
on;
ar
0
emi-e) =1, |- (58)

Ifi=0(2),

e =e, (59)
0
on;
0.

g(n;-e;) = OZ (60)
on;

As for the heat equation, a given element 7 is considered for exam-
ination. Six interpolation functions are defined in this domain —
two for each node. If #; or #; does not belong to these functions,

[ 2ty s Cletn- era = o. (61)
JT =

If n; and 1 do belong to these functions, [, m, and n are assigned as
the three nodes and (r,z), (I'm,Zm), and (r,,z,) the coordinates of
those nodes such that

/§('11 -¢)) : Ce(n; - e))rdQ =T - |t|F - |7|®] - C- P, (62)
[ ene): Cleorde =71 - 47 -C- 2o (63)
j =& &
1
s 1
B=G+ET-T)| | +8e (64)
0
fi=1(2): Ifi=0(2)
Zm — Zn 0
0 , - .
o=L| g |ifigt= & =1 r“Orm if i=1
3r
= T'm Zn — Zn
Zn —Z; 0
P; =L i1 _ G — | =T |iri_
i=@| & |[fr=m i=m| o |f2=m
3r
I —Tn Zn— 2z
Zl—Zm 0
P =y w |if B=n P = rmo—r, if 3=n
3r
'm—T1] 2| —Zm

When considering a given element ¢;, (or ¢,,,), four interpolation
functions are defined on this edge. If #; does not belong to these
functions or if j = 0 (2),

/ P;-n(ej-e;)rdl =0, (65)
/ P, -1(¢; - er)rdl = 0. (66)
Otherwise,

[ P eora = ol (67)

/ —P. - 1;(e; - e)rdl = “Pe [Geul T '29?“ &5 (68)

sext
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